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ABSTRACT

This paper describes the temperature dependence of deformation and failure behaviors in the austenitic
stainless steels (annealed 304, 316, 316LN, and 20% cold-worked 316LN) in terms of equivalent true
stress—true strain curves. The true stress—true strain curves up to the final fracture were calculated from
tensile test data obtained at —150 to 450 °C using an iterative finite element method. Analysis was largely
focused on the necking and fracture: key parameters such as the strain hardening rate, equivalent frac-
ture stress, fracture strain, and tensile fracture energy were evaluated, and their temperature dependen-
cies were investigated. It was shown that a significantly high strain hardening rate was retained during
unstable deformation although overall strain hardening rate beyond the onset of necking was lower than
that of the uniform deformation. The fracture stress and energy decreased with temperature up to 200 °C
and were nearly saturated as the temperature came close to the maximum test temperature 450 °C. The
fracture strain had a maximum at —50 to 20 °C before decreasing with temperature. It was explained that
these temperature dependencies of fracture properties were associated with a change in the dominant
strain hardening mechanism with test temperature. Also, it was seen that the pre-straining of material

has little effect on the strain hardening rate during necking deformation and on fracture properties.

Published by Elsevier B.V.

1. Introduction

The deformation and fracture behaviors of highly ductile 300
series stainless steels (SSs) can be significantly changed by mate-
rial and testing conditions such as test temperature, irradiation,
and pre-deformation. A systematic explanation for the changes
has often been limited because most of the studies focused on
the uniform deformation only and the details of the later part of
deformation, or necking deformation, was largely ignored [1,2].
In the metallic materials the total necking strain can be much high-
er, along with higher stress level, than the strain achievable from
the uniform deformation [3]. It is expected that the unit volume
of a metallic material can absorb more energy in unstable (or neck-
ing) deformation than in uniform deformation. The unstable defor-
mation is particularly important in the materials irradiated to high
doses, where the onset of necking occurs at yield but a significant
true necking strain can be obtained [4-6]. In such cases, the unsta-
ble deformation occupies the major part of the whole deformation
and the failure properties obtained from true stress (or)-true
strain (er) relation during unstable deformation can be the only
information to describe the mechanical behavior of the material.
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It is therefore recognized that obtaining the full true stress—true
strain data up to the final fracture, including the unstable deforma-
tion, is important to thoroughly understand the true characteristics
of materials.

This study aimed at detailed investigations on the temperature
dependence of deformation and failure behaviors in the austenitic
stainless steels in terms of the true stress—true strain curves cover-
ing both uniform and unstable deformation. Several experimental
methods for finding true stress-true strain relation beyond the on-
set of necking, i.e., Bridgeman’s method and grid method, have
been suggested [7,8]. However, there are some limitations to prac-
tically apply these methods: For Bridgeman’s method, its applica-
tion is limited to round bar specimens because it cannot consider
the complicated necking behavior of flat specimens that often
show a necking mode transition during unstable deformation [9].
Grid method is also complicated for practical uses because the
deformation pattern of grid lines on the surface of specimen cannot
be monitored accurately during necking at the minimum cross-
section of specimen [9]. To exclude such limitations in experimen-
tal methods, a simple approximation method based on a linear
strain hardening model for unstable deformation has been sug-
gested and applied to irradiated materials [3,10-12]. However, this
model can provide nominal true stress value only instead of equiv-
alent true stress which is a more genuine stress response of the
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material and is nearly independent of specimen geometry [13].
Recently, the finite element (FE) simulation method has been used
as an alternative way to get the full true stress-true strain curve
including unstable deformation [14-16]. It is known that the
method can accurately simulate necking phenomena and give reli-
able equivalent true stress-true strain curve from the tensile data
given by flat specimens as well as by round bar specimens [16-18].
In recent years the long computation time, which has been a main
short coming for detailed FE calculations, was significantly reduced
[9,19]. Another key merit of the FE analysis is that all stress and
strain components can be determined for the necking deformation
where multi-axial stress and strain fields develop.

The 300 series (austenitic) stainless steels have been commonly
used in nuclear facilities such as fission reactors, spallation neutron
sources, and fusion test reactors. Thus, extensive tensile data for
various test and irradiation conditions have been accumulated in
the past. Using iterative finite element simulations, therefore, this
study attempts to obtain full equivalent true stress-true strain
curves including unstable deformation for those austenitic stain-
less steels. The ABACUS program was used for all FE simulations,
and the simulation results include the strain hardening properties
for unstable deformation and tensile fracture properties, i.e., equiv-
alent fracture stress (ogg), fracture strain (¢&g), and tensile fracture
energy (Ep). The part I paper provides the full equivalent true
stress—-true strain curves for the four austenitic stainless steels
tested at various test temperatures and discusses the temperature
dependencies of strain hardening behavior during unstable defor-
mation and fracture properties for austenitic stainless steels. In
the Part Il paper the irradiation dose dependencies of strain hard-
ening behavior during unstable deformation and fracture proper-
ties are discussed based on the calculated true stress—true strain
curves.

2. Tensile data for analysis

Tensile data (UI1-UlI4) produced in earlier studies were used to
generate full range true stress-true strain curves for four 300
series austenitic stainless steels: annealed 304, 316, 316LN, and
20% cold-worked (CW) 316LN SSs, tested over the temperature
range from —150 °C to 450 °C [20]. Table 1 summarizes the chem-
istry and thermo-mechanical history for the materials. A subsized
flat specimen with the gage section of 7.62 x 1.52 x 0.76 mm
(SS-3 type specimen) was used for the tensile tests. Tests were
conducted using a screw-driven machine at a nominal strain rate
of about 1073 s, Test temperatures ranged from —150 to 400 or
450°C, and were controlled by an automatic heating/cooling
chamber system using electrical heating and liquid nitrogen
cooling. Fig. 1 shows the engineering stress—strain curves of the
materials at each test temperature considered in the present
study. As shown in Fig. 1, the engineering stress-strain curves
showed different patterns depending on test temperature and
cold-working.

Table 1
Materials and heat-treatments [1].

3. Simulation procedure and finite element model
3.1. Equivalent true stress—true strain calculation procedure

This calculation procedure includes steps for uniform deforma-
tion and unstable plasticity regimes in tensile deformation. For
both regimes, the ABACUS program uses the traditional definitions
for the equivalent true stress and true strain:

GT:—[(Ul —02)2+(02—O—3)2+(O—3_01)2}]/27 (1)

S 5l

2 2 2 172
8T:?[(81—82) + (& — &3) +(83—81)] , (2)
where ¢, and ¢; denote the principal stress and strain components
in the tensile (axial) direction and o, g3, & and &3 are those in the
two perpendicular (width and thickness) directions. Since the stress
and strain in tensile tests are in a uniaxial stress state before the on-
set of necking, the equivalent true stress-true strain relation to the
onset of necking can be directly obtained from the experimental
load (F)-displacement (4) data using the following Eqs. (3) and (4):

F (o
GTZU]=E<E+1>, (3)
0
8T=£1:ln(—+l>, (4)
L,

where A, is the initial cross-sectional area of specimen and L, is the
initial gage length.

After the onset of necking the deformation becomes three
dimensional, and the perpendicular stress and strain components
cannot be directly obtained from the load-displacement measure-
ments. In the present procedure, therefore, the equivalent true
stress-true stain curve for the necking deformation is obtained
using an iterative calculation technique. In this technique the
experimental load-displacement curve is considered as a target
output and the input, the true stress-true strain data, to produce
the target is repeatedly updated for iterative calculations. In order
to reduce the number of iterations, this study employed a simpli-
fied iteration procedure based on the existing studies [14,19],
which consists of the following steps:

(i) Calculate the true stress-true strain curve up to necking
from load-displacement data using Eqgs. (3) and (4), and
extrapolate the curve after necking using a power law fit.

(ii) Perform a finite element simulation for a load (F;) and dis-
placement dataset (§;) considering the actual dimension of
each specimen with the true stress-true strain obtained by
step (i), and compare the calculated load-displacement
response with the experimental measurements. Calculate
the relative error of the load (AF;) at the given displacement
(6;), where AF; is the difference between the measured load
(F,,) and the calculated load (F;).

Data Materials Chemical compositions (wt.%)

Heat treatment Test temperature

ID (°C)

un 304- Fe-18.37Cr-8.04Ni-0.04Mo-1.73Mn-0.44Si-0.022P-0.036C-0.058N-0.1Cu-  Annealed at 1050 °C for 30 min —150 to 400
Annealed 0.12V-0.03Co

U2 316- Fe-17.15Cr-13.45Ni-2.34Mo-1.86Mn-0.57Si-0.024P-0.059C-0.031N- Annealed at 1050 °C for 30 min —150 to 450
Annealed 0.018S-0.1Cu-0.02Co

U3 316LN- Fe-16.3Cr-10.2Ni-2.01Mo-1.75Mn-0.39Si-0.029P-0.009C-0.11N Annealed at 1050 °C for 30min —150 to 400
Annealed

Ul4 316LN-20% Fe-16.3Cr-10.2Ni-2.01Mo-1.75Mn-0.39Si-0.029P-0.009C-0.11N Annealed at 1050 °C for 30 min and 20% —150 to 400
cw cold-rolled
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(iii) Adjust the true stress-true strain curve for necking deforma-
tion based on AF; obtained in step (ii) using Eq. (5) and
replace the true stress-true strain curve with the updated

one (g; — &).
AF;

6,‘ = 01‘70 + O‘i»o (T)’ (5)
i

where o0; and g, are the updated and current true stresses at ¢; cor-
responding to a displacement of §;. Here, the true strain during
unstable deformation, ¢; is defined as the average axial strain in
the smallest cross-section of neck and is expressed as

& =1In (':-‘:), (6)

where A, is the initial cross-section of specimen and A; is the pre-
dicted cross-section of necking at the displacement (§;).

Repeat the steps (ii) and (iii) until the relative error reaches a
specified tolerance and take the finally updated a; — ¢; as the true
stress—true strain curve of the material. Thus, the curve for necking
deformation obtained by this procedure is the equivalent true
stress—true strain curve under multi-axial stress state.

In each incremental step, the experimental load-displacement
data, which can be easily converted from the engineering stress—
strain curves in Fig. 1, were used as the boundary conditions for
force and displacement in the one-eighth model, Fig. 2. The
amount of specimen extension was applied to the artificial node
in Fig. 2 as a displacement boundary condition. The force calcu-
lated at the artificial node in the end of iterative calculations
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should satisfy the boundary condition: the force value from the
experimental flow curve at a given elongation.

In the FE simulation, the calculated load-displacement curve
beyond the onset of necking considerably changed with the true
stress value in the strain range just after the onset of necking,
whereas it was less sensitive to the true stress values at higher
strain region. Thus, the determination of accurate true stress-true
strain curve just after the onset of necking is important. In this
study the iteration was continued until the experimental and cal-
culated load-displacement curves were almost completely
matched around the onset of necking, although the overall error
satisfied the specified tolerance.

It is known that the strain distribution in a tensile specimen is
highly heterogeneous around the smallest cross-section during
necking [9,14,15]. For the thin flat samples, in particular, it is unli-
kely to accurately estimate the true strain at the point of final fail-
ure from the simulation since the local strain increases very rapidly
and the final fracture occurs in the end of localized necking [9,16].
In this simulation, therefore, the average values of fracture param-
eters were evaluated, ignoring variations within the minimum
cross-sectional area; for example, the equivalent fracture strain
was determined from the simulated cross-section area (Ag) at the
displacement corresponding to final failure (Jg) in the load-dis-
placement curve [9]. For each case, the equivalent true stress-true
strain curve was calculated up to the final catastrophic fracture
point detected in the experimental load-displacement curve. It is
worth noting that the plastic deformation behaviors of a material
are different for different geometries or constraints, and therefore
the basic hypotheses used in this analysis are considered to be lim-
ited to the static uniaxial tensile testing for flat specimens.
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Fig. 1. Engineering stress-strain curves for austenitic stainless steels: (a) 304-annealed, (b) 316-annealed, (c) 316LN-annealed, and (d) 316LN-20% cold-worked steels [1].
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Fig. 2. Finite element model used for the simulation of tensile test.

3.2. Finite element models

Finite element simulation of tensile tests was performed using a
general-purpose finite element program, ABAQUS [21]. To simulate
shear deformation in the width direction and thinning in the thick-
ness direction in the localized necking area, three-dimensional
models using twenty-node solid element with reduced integration
(C3D20R in ABAQUS) were used in the simulation. Considering the
symmetry of specimen shown in Fig. 2, one eighth of the full spec-
imen including a section of specimen head was modeled. Finer
meshes were modeled near the center of the specimen where the
strain gradient was expected to be large; at the center of the spec-
imen sixteen and six elements were layered in the width and thick-
ness directions, respectively. The number of elements and the
element sizes were optimized based on the convergence test.
Material and geometrical nonlinearities were considered in the
analyses to properly simulate the necking of specimens: Materials
were modeled as isotropic elastic-plastic materials that obey the
incremental plasticity theory. The nonlinear geometry option
(NLGEOM) in the ABAQUS program was chosen to incorporate
large geometry changes.

To induce an initiation of necking in the simulation, a geomet-
rical imperfection in a form of locally reduced width and thickness
by 0.25% from their nominal dimensions was assumed to be
embedded in the central elements of specimen in the finite
element model. The degree of geometrical imperfection was
determined based on the manufacturing tolerance in specimen
dimensions as well as on the result from a sensitivity analysis
using the ABAQUS program for the SS-3 specimen geometry. The
0.25% imperfection was enough to induce a necking but was less
than the usual manufacturing tolerance for such tensile specimens
(5 wm). Also, embedding the imperfection in the geometrical
symmetry point of specimen reduced significant computation
time [14-17]. The necking patterns are discussed in a following
section.

3.3. Verification of finite element simulation

In each simulation the experimental load-displacement curve
was used not only as the target in iterative calculation but also
as a measure to validate the finite element model. In all cases,
the predicted and measured loads and displacements at the onset
of necking were almost identical. It was also possible to almost
completely match the simulated load-displacement curve with
the experimental one for the necking deformation up to the final
failure, except for a minor difference displayed for some high tem-
perature cases. Fig. 3 shows the selected cases for load-displace-
ment curve comparison.

The strain contour and deformation patterns at the point of final
failure were examined to check if the use of the same FE model and
calculation scheme is reasonable for the whole deformation. As
seen in Fig. 4, the higher level of maximum principal logarithmic
strain (true strain) appeared at the center of the cross-section
and its contour spreads along the perpendicular plane. Such an
asymmetrical contour pattern at final failure can be observed in
flat specimens when the test material is highly ductile [3]. Accord-
ing to some earlier studies [17,18], the transition from diffuse to
localized necking mode occurs when the aspect ratio of gage sec-
tion (=the width-to-thickness ratio) is 3 - 6, depending on the
mechanical property of the material. The aspect ratio tends to in-
crease as the plastic deformation progresses because the straining
in the thickness direction is slightly preferred in flat specimens. For
the SS-3 type specimens, since the initial aspect ratio of cross-sec-
tional area is about 2, relatively short localized necking occurred
before the final fracture. It is believed that the current FE analysis
effectively simulates the unstable deformation behavior during
necking in flat specimens.

It is also worth recognizing that, although the continuum the-
ory-based FE models cannot simulate the microstructural failure
mechanisms such as void nucleation, growth, and coalescence,
the final portions of the experimental engineering stress—strain
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curves included in the simulation reflect the early part of the final
failure process. In the formation of a localized neck, in particular, a
ductile micro-fracture mechanism might operate within the shear
band and its effect should be reflected as a steep decrease of load in
the experimental curves. In this study, the final deformation mode
was mostly localized necking, i.e., shear band formation, and FE
simulation was performed until the load starts to drop catastroph-
ically. At least the earlier portion of the final fracture process was
therefore reflected in the simulation results: the effect of void for-
mation may appear as a reduced strain-hardening rate in the end
portions of the true stress—true strain curves by this method, if
any. However, since the total void volume is believed to be small
in the shear-dominant neck of austenitic stainless steels, the effect
from such phenomenon should be negligible before the final cata-
strophic fracture, which cannot be simulated in this study.

4. Results and discussion
4.1. Equivalent true stress—true strain curves

The equivalent true stress—true strain curves including unstable
deformation for the four austenitic stainless steels, annealed 304,

316, 316LN, and 20% CW 316LN, tested at different temperatures
were determined using finite element simulations. In all test
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materials, as shown in Fig. 5, it is seen that the equivalent true
stress after the onset of necking still increased with increasing true
strain without any discernable transition in the curves, although
the slope of the curves decreased. As the test temperature in-
creased, the hardening rate in equivalent true stress term during
unstable deformation was considerably reduced and became neg-
ligible above 200 °C, while the continuity of the curves at the onset
of necking was still kept. These results indicate that either the
same strain hardening mechanism is still operative in the unstable
deformation or the change in the mechanism, if any, is gradual. It is
also worth noting that the same characteristics of unstable defor-
mation were observed for the 20% CW 316LN SS and annealed
stainless steels.

Fig. 6 compares the equivalent true stress—true strain curves of
annealed 316LN SS and 20% CW 316LN SS. To compare the strain
hardening behaviors in unstable deformation regime, the effect
of pre-straining was excluded by shifting the curves of 20% CW
316LN SS along the strain axis. It is shown that the equivalent true
stress—true strain curves beyond the onset of necking for the 20%
CW 316LN SS are superimposed well on the curves for annealed
316LN SS except for the case of 100 °C test. In the uniform defor-
mation regime, in general, the strain hardening rate of materials
is not changed by cold-working [13]. Fig. 6 confirms that the valid-
ity of such strain hardening characteristics can be extended to the
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Fig. 3. Comparisons of load-displacement curves obtained from experiment and finite element simulation: for (a) 316LN-annealed and (b) 316LN-20% cold-worked
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Fig. 4. Deformation patterns and distributions for the maximum principle logarithmic strain at final failure.
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Fig. 5. Equivalent true stress-true strain curves for austenitic stainless steels at various temperatures: for (a) 304-annealed, (b) 316-annealed, (c) 316LN-annealed, and (d)

316LN-20% cold-worked steels.
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Fig. 6. Comparisons of true stress-true strain curves for 316LN stainless steel in
annealed and 20% cold-worked conditions.

unstable deformation regime. That is, the strain hardening rate
during unstable deformation is little affected by pre-straining of
materials.

Also seen in Fig. 6 is that the strain shift is different for different
test temperatures even though all specimens were subjected to the
same level of pre-straining, 20% CW. The shift was less than 20% for
the test temperatures of —150 and —50 °C and higher than 20% for
the test temperatures above 100 °C. This is because the pre-strain-
ing has been applied at room temperature (RT) rather than at the

test temperatures and the effectiveness of the pre-strain induced
defects depends on test temperature.

4.2. Equivalent fracture stress and fracture strain

In Fig. 5, the ends of the equivalent true stress-true strain
curves were considerably varied with test temperature for all
tested materials. This implies that the equivalent fracture stress
and fracture strain of austenitic stainless steels are strongly depen-
dent on the test temperature. Fig. 7 shows the variations of equiv-
alent fracture stress for all materials with test temperature,
together with yield stress (ays) and plastic instability stress (opys)
given by previous study [20]. It was shown that overall tempera-
ture dependence of oz for each material resembles that of apis;
it decreased rapidly with test temperature in the temperature
range <200°C and saturated at an athermal stress level above
200 °C. However, the equivalent fracture stress was more sensitive
to the test temperature than the plastic instability stress; the
reduction in op with test temperature was steeper. Thus, the o
was approximately twice the agp;s at temperatures below 100 °C,
while the difference between oz and ogp;s became minor above
200 °C even though the difference between agys and opis was still
considerable except for the 20% CW 316LN SS. The difference be-
tween the equivalent fracture stresses of test materials became
more obvious as the temperature decrease below RT. The highest
and lowest of op are observed in the annealed 304 SS and an-
nealed 316LN SS, respectively. Such difference was reduced signif-
icantly at elevated temperature. Fig. 7 also shows that the values of
org for the 20% CW 316LN SS are almost the same as those for the
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Fig. 7. Temperature dependence of equivalent true stress parameters for annealed
304, 316, 316LN, and 20% CW 316LN stainless steels.
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Fig. 8. Temperature dependence of equivalent true strain parameters for annealed
304, 316, 316LN, and 20% CW 316LN stainless steels.

annealed 316LN SS. This indicates that the equivalent fracture
stress is independent of pre-straining, as is observed in strain hard-
ening behavior.

Fig. 8 presents the equivalent fracture strain (&) data plotted
against temperature, along with the true uniform strain (ey). The
¢ increased with temperature in the low temperature range,
reached a maximum at —50 °C to 20 °C, and then rapidly decreased
to 1.1-1.4 at 200 °C. Above 200 °C, the values of & were retained at
1.0-1.3, which are about half of the maximum values. For each
material, the temperature dependence of fracture strain is similar
to that of true uniform strain, although the variation of & over a
temperature change is larger than that of ¢y. Below RT the &g for
annealed 316 SS was higher than those for the other materials,
however, it rapidly decreased with temperature and became the
lowest above 100 °C. In this material the critical temperature at
which the fracture strain starts to decrease with temperature
was lower compared to the other materials.

The true necking strain (Ae,), which is defined by the difference
between & and ¢y and plotted in Fig. 9, tends to have a maximum
below ~100 °C and decreased with temperature. Over the test tem-
perature range the 20% CW 316LN SS showed similar or higher
necking strain than the annealed austenitic stainless steels includ-
ing the 316LN SS. This result indicates that pre-straining does not
reduce the ductility of unstable deformation under a multi-axial
loading condition.
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Fig. 9. Temperature dependence of necking strains for annealed 304, 316, 316LN,
and 20% CW 316LN stainless steels.
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Fig. 10. Temperature dependence of tensile fracture energies for annealed 304, 316,
316LN, and 20% CW 316LN stainless steels.

4.3. Tensile fracture energy

Since the full equivalent true stress—true strain curves including
unstable deformation were produced in this study, the tensile frac-
ture energy (Eg), which is a measure of toughness for low con-
straint, was able to be calculated using those curves. Here, the Er
was defined by an area of full equivalent true stress-true strain
curve, as given by Eq. (7):

Ee— / " order. @)
0

Fig. 10 presents the Er as a function of test temperature. The Er
value decreased rapidly with test temperature below 200 °C; the
values of Er at —150 °C were about 3-4 times higher than those
at 200 °C. This overall temperature dependence is similar to that
of opg shown in Fig. 7, while the material dependence was more
obvious in the Er values. At low temperatures, —150 and —50 °C,
the annealed 304 SS and 316 SS showed the highest Ex and the an-
nealed 316LN SS the lowest. It is notable that the Eg of the 20% CW
316LN SS is similar to those of the annealed 304 and 316 SS,
although it experienced prompt necking at yield above RT. The
temperature dependence of tensile fracture energy agrees with
that of fracture toughness in austenite stainless steels in ductile
region [22], where the resistance to ductile failure decreased
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Fig. 11. Temperature dependence of strain hardening rate at ¢r=1 for annealed
304, 316, 316LN, and 20% CW 316LN stainless steels.

rapidly with temperature. Among the test materials the tempera-
ture dependence of the fracture resistance was most profound in
the annealed 316 SS.

4.4. Discussion on the temperature dependence of fracture properties

The present results indicate that the equivalent fracture stress,
fracture strain, and tensile fracture energy are more sensitive to
the test temperature compared to the temperature dependences
of plastic instability stress and uniform strain, which are based
on uniform deformation. As temperature increased, these proper-
ties steeply decreased and nearly saturated above 200 °C. This
temperature dependence in the fracture properties is related to
the rapid decrease in the strain hardening capability beyond the
onset of necking at elevated temperature, as shown in Fig. 11,
which may be attributed to the change in strain hardening mech-
anism at high strain region of austenitic stainless steels with test
temperature.

In general, the deformation mode of face centered cubic mate-
rial gradually changes from highly planar slip to cross slip inducing
more tangles as strain increases, and the saturation of dislocation
tangle can result in exhaustion of strain hardening capability of
material. Especially in the low stacking fault energy (SFE) materials
such as the present austenitic stainless steels, the mechanical
twining mechanism and martensitic transformation as well as pla-
nar slip system are activated during plastic deformation and they
often enhance hardening capability [10,20,23]. Since the mechani-
cal twining and strain induced martensite are equivalent to a pro-
gressive formation of obstacles, they supply less exhaustible
hardening mechanism than dislocation tangling [20]. Thus, the
strain hardening capability is sustained to relatively high strain
region, when these deformation systems are activated for plastic
deformation in austenitic stainless steels. Previous study showed
that the strain induced martensite is generated at low tempera-
tures of —150 and —50 °C for austenitic stainless steels [20], and
mechanical twinning system is activated at test temperature below
about 200 °C for austenitic stainless steels [10,20,23]. It is believed
therefore that the high strain hardening rate maintained beyond
the onset of necking at low test temperatures of —150 and
—50°C is associated with the activation of mechanical twinning
and often martensite in addition to the planar slip during plastic
deformation.

The high strain hardening rate can homogenize plastic deforma-
tion over the gage section of specimen, and consequently results in
high fracture strain and fracture stress as well as high uniform
strain. In the temperature range of RT —200 °C, activation and

operation of mechanical twinning and planar slip systems are
believed to be the major contributors to plastic flow and strain
hardening [10,20,23]. At low temperature the activation of twin-
ning system is easy due to its relatively low stacking fault energy
(SFE), and thus its effect dominates in the deformation of stainless
steels. However, the critical stress for dislocation glide decreases
with temperature, while the critical stress for mechanical twinning
increases slowly. Thus, planar slip becomes more important than
mechanical twinning and governs plastic flow at elevated temper-
atures [23]. With increasing test temperature, also, the increased
SFE in the austenitic steels results in more cross-slips even at
low strain, so that the strain hardening by dislocation tangle is sat-
urated at relatively early stage of plastic deformation [24]. In the
temperature range of RT ~ 200 °C, therefore, the rapid decrease
in strain hardening capability beyond the onset of necking with
test temperature is because the contribution of planar slip gradu-
ally increases in early stage and it changes to cross-slip at relatively
low strain. Further, a higher dislocation interaction should leads to
a higher rate of thermal dislocation annihilation at elevated tem-
peratures. Such a reduced strain hardening capability during
unstable deformation results in the rapid decrease in the equiva-
lent fracture stress, fracture strain, and tensile fracture energy.
Above 200 °C, the activation of mechanical twinning is nearly ab-
sent but planar slip system is operated [23]. Since the dislocation
tangles by cross-slip contributes more to strain hardening of
austenitic stainless steels in this temperature range, the strain
hardening capability is almost exhausted during uniform deforma-
tion and negligible at high strain region beyond the onset of neck-
ing. Therefore, the fracture properties reach the minimum values
and are unchanged in this temperature region.

On the other hand, at temperatures above RT the annealed 316
SS showed lower equivalent fracture stress, fracture strain, and
tensile fracture energy compared to other tested materials includ-
ing 20% CW 316LN SS. It was also shown that these properties for
annealed 316 SS steeply decreased with increasing test tempera-
ture. This may be related to relatively higher SFE of annealed 316
SS than those of other test materials [3,6,24]. As discussed above,
high SFE delays the activation of mechanical twinning of austenitic
stainless steels and promotes the transition from planar slip to
cross slip at early deformation stage. In annealed 316 SS with rel-
atively high SFE, the saturation of strain hardening capability
would appear at lower strain region and at lower test temperature
compared to annealed 304 SS and 316LN SS. Therefore, the values
of fracture parameters influenced by strain hardening capability
during unstable deformation steeply decreased and became lower
in the elevated temperature region. This also explains why the dif-
ferences of fracture properties among the materials become mini-
mal above 200 °C, where the dislocation tangling, which should be
accompanied by annihilation due to interactions, becomes a com-
mon strain hardening mechanism for all test materials.

5. Conclusions

Full-range equivalent true stress—true strain curves were deter-
mined for annealed 304, 316, and 316LN and 20% cold-worked
(CW) 316LN using an iterative finite element simulation technique.
Discussions were made focusing on the temperature dependence
of strain hardening behavior in unstable deformation and fracture
properties, and the following conclusions were drawn:

(1) In the austenitic stainless steels relatively high strain
hardening rate was retained during unstable deformation.
However, the strain hardening capability at elevated tem-
peratures was relatively low because dislocation tangling
with annihilation became dominant.
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(2) In all tested materials including 20% CW 316LN SS the equiv-
alent fracture stress and tensile fracture energy decreased
rapidly with temperature in the low temperature range
<200 °C and nearly saturated at higher temperatures up to
450 °C.

(3) As temperature increased, the fracture strain peaked at —50
to 20 °C, depending on material, and then rapidly decreased
until the temperature reached about 200 °C. Above 200 °C,
the values of fracture strain retained at 1.0-1.3, which were
approximately 50% of the maximum values.

(4) The effects of pre-straining on the strain hardening rate
beyond the onset of necking, equivalent fracture stress, frac-
ture strain, and tensile fracture energy were not significant
at all test temperatures.

(5) Among the tested materials, annealed 316 SS showed the
lowest equivalent fracture stress, fracture strain, and tensile
fracture energy at temperatures above RT. This may be
attributed to the relatively higher stacking fault energy of
the annealed 316 SS.
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